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Rolling Contact Fatigue
R. Ahmed, Heriot-Watt University (United Kingdom)

Fig. 1 Typical morphology of fatigue spall in rolling-
element bearings. (a) Fatigue spall centered on a

ball bearing raceway. (b) Fatigue spall on 12.7 mm (0.5 in.)
diameter steel ball obtained using rolling four-ballmachine

A MAJOR CAUSE of failure in components
subjected to rolling or rolling/sliding contacts
(e.g., rolling-contact bearings, gears, and cam/
tappet arrangements) is contact fatigue. Rolling-
contact fatigue (RCF) can be defined as the
mechanism of crack propagation caused by the
near-surface alternating stress field within the
rolling-contact bodies, which eventually leads to
material removal. The mechanism of RCF thus
differs from the delamination theory of wear
(Ref 1, 2), which also relies on cyclic loading
but in sliding conditions and at asperity level.
The alternating stress field in RCF is either in
pure rolling (e.g., rolling-element bearings), or
in rolling/sliding conditions (e.g., gear-tooth
loading), depending on the absence or presence
of gross sliding within the rolling-contact region.
Microslip (e.g., Heathcote or Reynolds slip [Ref
3]) within the contact region is, however, inevi-
table in both pure rolling and rolling/sliding con-
ditions. The term “RCF” in this article, however,
refers to pure rolling configurations, except
where specific references to rolling/sliding con-
ditions are made.

The material removal in a RCF failure varies
from micropitting, macropitting and spalling
(Ref 4–5) in conventional bearing steels (Fig. 1)
to delamination in hybrid ceramics (Ref 6) and
overlay coatings (Ref 7), as discussed later. Con-
tact geometry of the bodies subjected to RCF can
be conforming (e.g., contact between the outer
race and roller in a rolling-element roller bear-
ing) or nonconforming (e.g., contact between the
inner race and roller in a rolling-element roller
bearing). The alternating stress field responsible
for RCF failure can generally be idealized from
Hertzian contact conditions in conventional me-
tallic and ceramic materials (e.g., bearing steel
and, Si3N4 ceramics), but the interpretation of
stress fields needs to be cautiously approached
when dealing with layered surfaces (e.g., overlay
coatings). The preliminary focus in this article is
on RCF of coated surfaces, although the stress
field conditions are briefly reviewed for the RCF
of a homogenous material surface.

Prediction of statistical fatigue life (Ref 8–10)
and failure modes (Ref 4, 11–17) during RCF in
conventional bearing steels also has been the fo-
cus of hundreds of papers and numerous books
(Ref 18–20) in published literature. The scope of
this article focuses principally on the RCF per-

formance and failure modes of overlay coatings,
such as those deposited by physical vapor de-
position, chemical vapor deposition, and thermal
spraying. Some background description of RCF
in bearing steels is, however, useful and neces-
sary, because RCF of steels is important. General
background on RCF in bearing steels also helps
develop an understanding of failure modes in
overlay coatings discussed in this article. More
detailed description of RCF in conventional
bearing steels can be seen elsewhere (e.g., Ref
11–17), along with a general discussion of con-
tact fatigue in the article “Fatigue Failures” in
this Volume.

General Principles of RCF

General Background. The origin of RCF
failure is understood to be stress concentrations,
which initiate and propagate fatigue crack under
cyclic loading. These stress concentrations occur
due to surface or subsurface stress risers or to the
geometry and kinematics of the contacting pair.
Figure 2 summarizes a list of these stress risers,
which have been the subject of numerous sci-
entific investigations that have resulted in the
improved life of rolling-element bearings (Ref
11). With the introduction of cleaner steels and
greater precision in the manufacture of bearings,
most of the surface and subsurface stress risers
listed in Fig. 2 have been addressed. Neverthe-
less, the demand to operate rolling-element bear-
ings in harsh tribological environments of lubri-
cation, load, contamination, and temperature
push for higher fatigue limits, and thus call for
improved understanding of the RCF failure
modes.

Four distinct failure modes have been estab-
lished in rolling-contact bearings (Ref 5). These
classifications include wear-type failures, plastic
flow, contact fatigue, and bulk failures. Although
the aim of this article is to comprehend RCF fail-
ures, wear-type failures that include surface re-
moval and material transfer do not form a part
of this background; Blau (Ref 13) has given a
detailed account of rolling-contact wear (RCW),
and he differentiates between RCF and RCW in
the sense that RCF is a damage accumulation
process under cyclic loading, whereas, RCW can
be thought of as nucleation sites for initiating

fatigue damage. Rolling-contact wear is thus
critical in components operating in rolling-slid-
ing contact (e.g., gears where the lubrication re-
gime is either boundary or mixed). However, the
full film lubrication generally seen in rolling-ele-
ment bearings should prevent such damage, ex-
cept at the start/stop of rolling motion. Similarly,
plastic flow and bulk failure depend on the bulk
thermal and mechanical properties of the bearing
materials and can lead to permanent dimensional
changes.

The most classical failure mode in rolling-
contact components is RCF. Rolling-contact fa-
tigue failure modes have previously been clas-
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Fig. 3 Stress distribution in contacting surfaces due to
rolling, sliding, and combined effect
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Fig. 2 Stress risers initiating rolling-contact fatigue failure

Fig. 4 Gear-tooth section. Rolling-contact fatigue.
Crack origin subsurface. Progression was parallel

to surface and inward away from surface. Not etched. 60�

Fig. 5 Gear-tooth section. Rolling-contact fatigue.
Crack origin subsurface. Progression was parallel

with surface, inward, and finally to the surface to form a
large pit or spall. Not etched. 60�

sified as pitting, case crushing, peeling, frosting,
glazing, surface distress, and so on (Ref 15–17,
21, 22). Some of these terminologies are similar;
for example, pitting and spalling are often used
interchangeably in the European literature (Fig.
1). Littmann (Ref 17) has given an account of
the contact fatigue damage classification system,
and he identified six modes of fatigue failure—
inclusion origin, subcase fatigue, surface origin,
geometric stress concentrations, peeling, and
section failure. Later studies classified these fail-
ure modes as surface originated and subsurface
originated (23, 24). A more comprehensive clas-
sification of these failure modes can be found in
Ref 25.

Regardless of the classification system used to
categorize failure modes, the mechanism of RCF
failure generally involves the following charac-
teristics:

● Stress concentrations either at the surface or
subsurface (Fig. 2)

● Crack initiation either at the surface or sub-
surface due to stress concentrations

● Crack propagation due to cyclic loading
● Spalling or pitting leading to debris
● Postfailure damage due to misalignment or

debris within the contact region

The exact mode of fatigue failure can sub-
stantially vary from failure to failure, and a num-
ber of failure modes compete to reduce the over-
all life of rolling bearings. This is mainly due to

the synergetic effect of competing failure modes
in which both surface and subsurface origins of
crack initiation and propagation can be signifi-
cantly affected by tribological conditions. Ad-
ditional factors, such as the role of residual
stress; hydraulic pressure propagation, coupled
with the shape, size, and location of individual
surface or subsurface defects; and variations in
tribological conditions within the contact region,
thus present a complex interdependency.

Characteristics of RCF in Steel.* The stress
condition associated with RCF is illustrated
schematically in Fig. 3. With any condition of
rolling, the maximum stress being applied at or
very near the contact area is the shear stress par-
allel to the rolling surface at some point below
the surface. For normally loaded gear teeth, this
distance is from 0.18 to 0.30 mm (0.007 to 0.012
in.) below the surface just ahead of the rolling
point of contact. If sliding is occurring in the
same direction, the shear stress increases at the
same point. If the shear plane is close to the sur-
face, then light pitting can occur. If the shear
plane is deep due to a heavy rolling-load contact,
then the tendency is for the crack propagation to
turn inward (Fig. 4). The cracks continue to
propagate under repeated stress until heavy pit-
ting or spalling takes place (Fig. 5).

There is always one characteristic (and often
two) of RCF that will distinguishes it from other
modes of surface-contact fatigue. Both charac-
teristics can be observed only by an examination
of the microstructure. In rolling contact, the sur-
face will does not show a catastrophic move-
ment; it remains as the original structure. For
example, an unetched, polished sample taken
near the origin of a subsurface fatigue crack (Fig.
6) very clearly shows undisturbed black oxides
at the surface. The subsurface cracking could not
have been caused by either abrasive or adhesive
contact; it had to be by rolling. This is always
the first evidence to look for when determining
the type of applied stress.

*This section was adapted from L.E. Alban, Failures of Gears,
Failure Analysis and Prevention, Vol 11 in ASM Handbook,
1986, p 593–594.
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Fig. 7 Same sample as in Fig. 6, showing details of sub-
microstructure called butterfly wings. 3% nital

etch. (a) 125�. (b) 310�

Fig. 6 Gear-tooth section. Rolling-contact fatigue dis-
tinguished by subsurface shear parallel to sur-

face. Note the undisturbed black oxides at the surface, in-
dicating no surface-material movement. Not etched. 125�

The second characteristic is common only in
a martensitic steel that contains very little or no
austenite and is found only at, along, or in line
with the shear plane. This is a microstructural
feature that has been termed “butterfly wings.”
If the sample in Fig. 6 is etched properly with
3% nital, the result is the microstructure shown
in Fig. 7(a). Increasing the magnification to
310� shows more detail (Fig. 7b). This type of
microstructural alteration is typically associated
with an inclusion present, but not always. Exten-
sive and very detailed studies of RCF refer to the
gray substructure as white bands of altered mar-
tensite. It is believed that these substructures are
caused when, under an extreme shearing stress,
movement is called for but is restrained and con-
tained to such an extent that the energy absorbed
institutes a change in the microstructure ahead
of a progressing crack. They are never observed
when significant amounts of austenite are pres-
ent; austenite quickly absorbs the energy and is
converted to untempered martensite. They are
also in an area that has not been deformed but
has definitely been transformed. Each area has
distinct boundaries, and the oncoming cracks ap-
pear to follow these boundaries. It has been
noted that some academic studies refer to this
same structure as being a transformed shear band
product formed by adiabatic shear. A more de-
tailed review of microstructural change in con-
tact fatigue of steel is provided in the article
“Contact Fatigue of Hardened Steel” in ASM
Handbook, Volume 19, Fatigue and Fracture
(Ref 11).

Rolling-Contact Fatigue Testing. The afore-
mentioned complexity in underpinning the exact
failure mechanism has led to simplified experi-
mental contact model configurations (RCF tri-
bometers), which have been extensively used to
investigate the influence of changes in bearing
materials, residual stress, and tribological con-
ditions. Although the correlation between the fa-
tigue life of these model contact configurations
and the actual life of bearings in service has not
been satisfactorily achieved, these RCF tribom-
eters serve three important functions:

● They provide a method to benchmark the per-
formance of existing and new generation of
bearing materials prior to full-scale testing.

● They provide an insight to the mechanisms of
individual failure modes by allowing the flex-
ibility to vary individual parameters, such as
lubrication, material cleanliness, contact load,
surface roughness, and so on.

● Progressive tests allow the possibility to cat-
alog the history of specific failures, thereby
indicating the boundaries of failure initiation
and propagation either in terms of progressive
failure morphology or vibration levels, which
can be useful for condition monitoring and
wear mapping.

Although the failure mode depends on the tri-
bological conditions selected for individual in-
vestigation, some test conditions adopted in RCF
tribometers can accelerate the RCF failure, for
example, by either increased contact loading or

increased rolling velocity. This alters the elastic/
plastic (shakedown) response, lubrication re-
gime, and kinematics within the contact region
when compared with those in the actual rolling-
contact bearings. These variations can thus influ-
ence the mechanism of fatigue failure, and re-
sults of such investigations need to be interpreted
in accordance with the adapted test conditions.
Various researchers have compared the under-
pinning failure mechanisms observed during ac-
celerated testing versus field performance. The
influence of higher contact pressure on the resid-
ual stress profile and changes in white bands are
considered in Ref 26. The elastic plastic shake-
down can be thought responsible for changes
that influences both the microstructure and also
residual stress profile. Results have indicated
that martensitic decay is possible for long dura-
tion tests and high toughness of bearing material
of acceptable hardness leads to high RCF life in
both accelerated and field tests.

The correct choice of tribometer is also critical
for a given application. For example, a four-ball
machine can simulate the kinematics of a deep-
groove rolling-element ball bearing; however,
the model contact in this tribometer considers a
nonconforming contact between the inner race
and rolling-element ball, which is not the case in
an actual bearing. The capabilities of various
RCF testing methods have been tabulated (Table
1) to compare the features of 13 different RCF
tribometers (Ref 13). These tribometers (Ref 26,
27) have the capability to vary tribological con-
ditions, for example, lubrication regime, contact
configuration, and roll-to-slip ratio to mimic
pure rolling or rolling/sliding motion for various
rolling-contact applications. Even within a given
category of RCF testers, there are generally nu-
merous combinations of test configurations to al-
low the flexibility in experimental design; for ex-
ample, in a rolling four-ball tester, there are
numerous configurations (type I, II, III) possible
to vary ball kinematics (Ref 28). Another mod-
ification to RCF testing has been the investiga-
tions of artificially induced surface defects (Ref
29, 30), which are thought to act as crack initi-
ation sites during the RCF failure. Such inves-

tigations are useful in understanding the influ-
ence of surface defects on RCF failure and may
also reduce the RCF testing time; the relevance
of such investigations to the tribological condi-
tions and failure modes in real bearing applica-
tions, however, requires a careful consideration
of the differences in tribological conditions be-
tween them.

Theories of RCF Failure. The exact mecha-
nism of RCF failure in engineering components
needs to be appreciated in view of tribological
conditions and various crack initiation and prop-
agation sites; nevertheless, various theories (dis-
cussed subsequently) linking the location and
magnitude of cyclic tensile or shear stress com-
ponents to RCF failure are useful in understand-
ing the failure mechanism. Although such theo-
ries based on cyclic stress components of the
Hertzian stress field can sometimes oversimplify
the RCF failure mechanism, the microscopic in-
vestigations comparing the cyclic stress com-
ponents to RCF failure are compelling. For ex-
ample, the existence of subsurface etchings and
butterflies have been related to shear stress com-
ponents under the contact surface (Ref 5, 11, 14,
15, 17).

Figure 8 illustrates a two-dimensional sche-
matic of the location and magnitude of maxi-
mum shear (smax), orthogonal shear (qorth) and
maximum tensile (Tmax) stress for a circular, dry-
rolling frictionless contact. The contact diameter
is assumed to be 2a, and smax has a maximum
value vertically below the center of contact re-
gion in a plane inclined at 45� to the coordinate
axis (Ref 11). Its magnitude at any point can be
calculated using the equation:

smax � (r1 � r3)/2 � 0.35Po (Eq 1)

where r1 and r3 are the values of maximum and
minimum principal stress, respectively, and Po is
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Table 1 Summary of RCF testing methods

Method Description Ref

NASA five-ball
testing apparatus

Four lower balls, freely rotation 90� apart in a separator; simulates the kinematics of a thrust-
loaded bearing; the contact angle can be varied; vibration sensor detects failure in
unattended tests; low- (cryo) and high-temperature testing (to 1000 �C, or 1830 �F)

26 (a)

Flat-washer testing
apparatus

16 retained balls rolling in a circle on a flat washer with a 75 mm (3 in.) outside diameter,
50 mm (2 in.) bore, and 6.4 mm (1⁄4 in.) thickness; 4.17 GPa (605 ksi) contact stress; 1500
rpm; filtered lubricant delivery system; piezo sensor detects vibration

26 (b)

Unisteel testing
apparatus

Flat washer on retained balls; hanging dead-weight load; contact stress approximately 4.5
GPa (650 ksi); 1500 rpm; drip feed of lubricant; vibration detection system; thermocouples
monitor temperature (typically 50 to 60 �C, or 120 to 140 �F)

26 (c)

Rolling-contact
testing apparatus

Two hemispherically ground, toroidal rollers loaded against a round bar; 40:1 ratio of roller
diameter to bar diameter; 2.7 to 5.5 GPa (390 to 800 ksi) contact stress; 12,500 rpm; drip-
feed lubrication; velocity-vibration sensor

26 (d)

Ball-rod testing
apparatus
(Federal-Mogul)

Three 12.5 mm (1⁄2 in.) balls loaded against a rotating 9.5 mm (3⁄8 in.) outside diameter center
rod; 3600 rpm; spring load on opposing tapered retaining rings; accelerometer coupled
with a shutdown device; drip-feed lubrication; stress per ball typically 6 GPa (870 ksi)

26 (e)

Cylinder-to-ball
testing apparatus

Symmetrical arrangement of two 19 mm (3⁄4 in.) balls rolling on a 12.5 mm (1⁄2 in.) outside
diameter captive cylinder; coiled-spring load through a multiplying lever; small cylinder
rpm � 22,677; splash lubrication; maximum contact stress, 5.8 GPa (840 ksi)

26 (f)

Cylinder-to-cylinder
testing apparatus

Symmetrical arrangement of two 12.5 mm (1⁄2 in.) cylinders on two 20 mm (0.8 in.) outside
diameter captive cylinders; coiled-spring load through a multiplying lever; small cylinder,
cpm � 20,400; splash lubrication; maximum contact stress less than 4.4 GPa (640 ksi);
vibration sensor terminates test

26 (g)

Ring-on-ring testing
apparatus

Crowned rings rolling on their peripheries; ring diameters of 50 and 53 mm (2 and 2.1 in.)
provide “no-slip” condition, but various degrees of slip are possible by changing ring
diameters; typically 2000 rpm; contact ratio measured by electrical resistance; contact
stress range typically 0.98 to 3.9 GPa (140 to 570 ksi)

26 (h)

Various types Method of testing for rolling contact fatigue of bearing steels 26 (i)
Multiple bearing

testing apparatus
Deep-groove ball bearing design; typically 3000 rpm; four bearings on a single center shaft;

maximum contact stress, 2.9 GPa (420 ksi); accelerometers on the outer housing monitor
failure

26 (j)

Rolling four-ball
testing apparatus

Top ball drives three lower balls in a tetragonal arrangement; lower balls free to rotate in the
cup; all balls 12.5 (1⁄2 in.) diam; upper balls spindle speed, 1500 rpm; 5.9 kN (1325 lbf)
load applied vertically

26 (k)

High-speed four-ball
testing apparatus

Same arrangement as above, but speeds of 15,000 to 20,000 rpm; operating temperatures
often exceed 100 �C (210 �F) (Plint machine)

26 (k)

“AOL” vertical
testing apparatus

11 retained balls clamped between two flat washers; thrust load; recirculating lubricant
system

26 (k)

Inclined ball-on-disk
testing apparatus

Spindle-held 20.5 mm (0.8 in.) ball rolling on a disk; up to 800 �C (1470 �F); ball speed up
to 7200 rpm; disk speed up to 3600 rpm; variable slide/roll ratios; traction measurements;
designed for ceramics

27

Further information can be found on the following pages of Ref 26: (a) p 5–45, (b) p 46–66, (c) p 67–84, (d) p 85–106, (e) p 107–124, (f) p 125–
135, (g) p 136–149, (h) p 150–165, (i) p 169–189, (j) p 206–218, (k) p 219–236. Source Ref 13.

Note: NASA, National Aeronautics and Space Administration
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Fig. 8 Two-dimensional schematic of variation in critical stress components with depth for a circular rolling contact
of diameter 2a

the peak compressive stress (Hertzian stress).
Similarly, the orthogonal shear stress (qorth) acts
on planes parallel and perpendicular to the sur-
face and is the vector sum of qyz and qzy for a
circular contact, that is:

q q q Pyz zxorth o= + =2 2 0 21( ) . (Eq 2)

where x and y are the two axes of the contact
circle. For elliptical contacts, x any y indicate the
major and minor axes of the contact ellipse. Al-
though the magnitude of orthogonal shear stress
is the same at the leading and trailing edge of
the contact region for a dry, frictionless contact,
the direction is reversed to give rise to maximum
qorth(max) and minimum qorth(min) values of or-
thogonal shear stress (Fig. 8). Hence, the maxi-
mum amplitude of orthogonal shear stress re-
versal, Dqorth, is given as:

Dqorth � (qorth(max) � qorth(min)) � 0.42Po (Eq 3)

Values relative to Po indicated in Eq 1–3 will
be different for elliptical contacts. Also, the lo-
cation and magnitude of these stresses strongly
depend on the value of the friction coefficient
within the contact region. As the friction coef-
ficient increases, the tangential loading shifts the
location of maximum shear stress toward the sur-
face. Similarly, the lubrication regime, surface
roughness, and residual stress all affect the stress
fields. Engineering Science Data Units (Ref 31,
32) tabulate the variation in these stress fields
with friction coefficient and contact ellipse ratio.

Both maximum and orthogonal shear stress
theories have been proposed to act as the sub-
surface failure modes during RCF. Fatigue life
prediction theories, for example, the Lundberg-
Palmgren theory (Ref 33), is also associated with
the location of orthogonal shear stress. More re-
cently, equivalent or effective shear stress (qe)
based upon the von Mises criteria (Ref 32–34)
has been shown to support experimental inves-
tigations, that is:

q q q qe xy yz zx

x y z x z x

= + +

+ − + − + −

2 2 2

1
6

2 2 2
1 2



( ) ( ) ( ){ }


σ σ σ σ σ σ

(Eq 4)

where rx, ry, and rz are the direct stress, and qxy,
qyz, and qzx are the shear stress values, respec-
tively. This failure criterion for homogenous,
isotropic, and ductile materials can be related to
the critical value of effective shear stress (qe(crit))
using the relation:

qe ycrit yield
2

( ) = =σ τ3 2
(Eq 5)

where ryield is the yield strength of material in
uniaxial tension or compression, and sy is the
yield stress in simple shear (Ref 32). Apart from
the subsurface shear stress and von Mises criteria
mentioned previously, maximum tensile (Tmax)

stress criteria is a useful indicator for appreciat-
ing RCF failure mechanism in brittle materials.
It is postulated that cracks initiate and propagate

from the tensile stress at the edge of the contact
region (Fig. 8). The magnitude of Tmax increases
with the increase in friction coefficient; however,
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its location remains very near the surface. For a
frictionless, dry contact, the value of Tmax can be
approximated using the relation:

Tmax � (1 � 2m)Po/3 (Eq 6)

where m is the Poisson’s ratio.
Rolling Bearing Life. Life prediction of a

roller or ball bearing is based on the statistical
treatment of full-scale bearing tests conducted
under controlled environments, for example,
full-film lubrication regime, dust-free environ-
ment, and so on. Although these controlled en-
vironments are useful indicators of the RCF per-
formance of rolling-element bearings, the actual
life of a given bearing can significantly vary
from the predicted life. It was reported that only
10% of all bearing replacements in the field can
be attributed to classic RCF failure (Ref 35),
whereas the remaining 90% are made for reasons
and conditions not even closely related to RCF
(Ref 26). Although this highlights the improve-
ments achieved in designing and manufacturing
better-quality bearings, it also indicates that
other factors in addition to RCF need to be con-
sidered to predict the life of a bearing. Even un-
der the controlled conditions of load, lubrication,
and alignment in a dust-, corrosion-, and mois-
ture-free environment, there is generally a large
scatter in the RCF performance for a given bear-
ing. Bearing manufacturers thus provide a statis-
tical probability of the life of a bearing on the
basis of experimental results conducted at a
given load, speed, and lubrication regime. Wei-
bull analysis (Ref 17) can then be used to esti-
mate the life expectancy of the bearing. Bearing
life is generally referred to as L10, L50 or L90 and
indicate the probability of failure (e.g., L10 in-
dicates that 10% of the bearings in a given popu-
lation will fail before a fixed number of stress
cycles are reached). Lundberg and Palmgren de-
veloped a theory that indicates the life of a roller
or ball bearing at a given load (P) can be ap-
proximated using the relation:

L � (C/P)n (Eq 7)

where L is the fatigue life in a million revolu-
tions, C is the load that gives an L10 life of 1
million revolutions, and n is a constant for a
bearing type (e.g., n � 3 for ball bearings and
10/3 for roller bearings). A detailed list of vari-
ous values of n for different bearing types can
be seen elsewhere (Ref 36). The use of a specific
value of n is critical for a given bearing type, and
the product law of probability is in effect (e.g.,
as the design changes from single-row to double-
row bearings). Hence, the life of a double-row
bearing under similar conditions to that of a sin-
gle-row bearing of identical design will be less
than that of a single-row bearing. A detailed ac-
count of the statistical treatment of life predic-
tions for a variety of bearing types can be found
in Ref 36, which also indicates the importance
of lubrication regime for such analysis. In addi-
tion to lubrication regime, material shakedown

effects (e.g., Ref 37, 38) and the role of residual
stress (e.g., Ref 39–42) on the RCF life can be
significant. Apart from Weibull analysis and the
Lundberg-Palmgren theory, other theories of fa-
tigue-life prediction (Ref 18) can also be used.
These theories were compared recently using a
model roller-race contact and the study indicated
that the accuracy of individual theories depends
not only on the life equation used but also on the
assumed Weibull slope (Ref 8). The final choice
of these parameters should therefore be consis-
tent with the experimental investigations.

Rolling-Contact Fatigue
of Vapor-Deposited Coatings

Advancements in rolling-bearing technology,
such as the introduction of hybrid ceramic bear-
ings that use the superior mechanical and ther-
mal properties of ceramic balls, indicated that
their full potential could only be realized by im-
proving the performance of bearing races. Con-
ventional materials and manufacturing processes
for the fabrication of steel races were, however,
at the limit of established technology, and there
was a technological gap demanding an innova-
tive approach to further improve rolling-bearing
life in hostile environments. Overlay coatings
such as those deposited by the physical vapor
deposition (PVD) processes, which had already
shown remarkable improvements in the cutting-
tool technology, provided this innovation and
improved the fatigue resistance of coated steel
races to match that of ceramic balls. This com-
bination of coated races and ceramic balls re-
sulted in rolling bearings of improved perfor-
mance, for example, higher rotational speeds in
roller bearings for machine tool spindles (Ref
43) and pump bearings for the space shuttle main
engines (Ref 44). In addition to steel races, the
uses of PVD coatings have now been commer-
cially extended to coated rollers and also coated
rolling-element balls, thereby extending the per-
formance of conventional steel bearings. The
versatility of materials available for PVD coating
processes provides an exotic combination of sin-
gle- and multilayer functionally graded materi-
als, for example, TiN, CrN, diamond-like carbon
(DLC), and anti-friction layers of solid lubri-
cants for space technology, for example, MoS2

coatings. The scope of this article is, however,
limited to the RCF performance of hard overlay
coatings in general, with specific details of un-
derpinning failure mechanisms of TiN and DLC
coatings.

Physical vapor deposition is a gaseous-state
process in which coating material is atomized or
vaporized to deposit a coating. The success of
PVD coatings in rolling-bearing technology (Ref
43–60) owes its existence to the advancements
in PVD coating processes and, in particular, their
ability to deposit these overlay coatings at a
lower temperature, that is, with minimum resid-
ual stress in the coating layer(s) to avoid pre-
mature delamination. The commercialization of

competing overlay coating technologies for RCF
applications, for example, chemical vapor de-
position (CVD) and thermal spraying (TS), is in
its infancy in comparison to PVD. However, de-
spite the enormous success of PVD coatings,
these competing technologies offer additional
technological and economical incentives. For
example, the coating thickness of CVD and TS
coatings can be orders of magnitude greater than
that of PVD deposits (which is seldom over 5
lm). Rolling-contact fatigue properties of sub-
strate become less important as the coating thick-
ness increases beyond the depth of maximum
shear stress, providing the ability to combat both
surface- and subsurface-initiated RCF. In addi-
tion, the high deposition rates and low cost of
TS in comparison to PVD/CVD coatings provide
economical incentives. Because the nature of the
TS process and the resulting coating microstruc-
ture are very different from that of PVD/CVD
coatings, the investigations of TS coatings for
RCF applications are covered in a separate sec-
tion of this article. This section deals with the
RCF investigations of PVD/CVD coatings. For
the description of various PVD, CVD, and TS
coating processes considered in this article, read-
ers are referred to Ref 48 and 49.

Despite the enormous success of overlay coat-
ings in improving the RCF performance of roll-
ing bearings, theories relating to the life predic-
tion of coated rolling bearings are in their
infancy. Most recently, research attempts in this
field were made for particular bearing types, for
example, NU1008 (Ref 44–46). The researchers
concluded that RCF life of TiAlN coatings, in
general, is consistent with the loading recom-
mendations of bearing catalogs. Such investi-
gations are crucial for generic solutions leading
to RCF life prediction in coated components. Fu-
ture studies in this area to include the effects of
surface roughness, lubrication regime, and resid-
ual stress (Ref 61) are therefore inevitable before
such models can be generally applied to estimate
the RCF performance of coated rolling bearings.
In one such attempt to include surface roughness
effects (Ref 47), it was concluded that significant
improvements in the RCF life of coated bearings
can be made by applying relatively thicker (coat-
ing thickness � 3 lm), well-adhered coatings
with fine microstructure to avoid cohesive failure
in thick coatings. However, due to the inherent
complexity of interaction of various tribological
factors that influence the RCF life prediction of
coated surfaces, most of the investigations in this
field are based on experimental evaluations un-
der accelerated RCF test conditions using vari-
ous RCF tribometers referred to in Table 1.

Rolling-Contact Fatigue Performance of
PVD Coatings. Table 2 catalogs the results of
various RCF investigations of PVD coatings
(Ref 43, 50–60). It can be appreciated from Table
2 that even at relatively high contact stress levels
(in excess of 4.0 GPa, or 0.6 � 106 psi), the RCF
performance of PVD coatings can be well over
several hundred-million cycles without failure.
These investigations indicate that the RCF per-
formance of nitride (especially TiN and HfN)
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and DLC coatings can easily outperform con-
ventional bearing materials, whereas other coat-
ing materials such as CrN show a promise for
the future. Sputtering (either reactive, ionic, or
magnetron) and ionic beam deposition have been
the preferred PVD coating process for nitride
and DLC coatings, respectively.

Although PVD coating deposition parameters
used to deposit the coatings for these RCF in-
vestigations have not been indicated in Table 2,
they can have significant influence on coating
microstructure and thus its RCF performance;
for example, for reactive sputtering of TiN coat-
ings, intercolumnar porosity of TiN coatings can
be decreased by increasing the substrate tem-
perature (Ref 62). However, the influence of
PVD deposition conditions (parameters) on the

RCF performance has not yet been clearly ad-
dressed in published literature. For now, it can
be assumed that the coatings referred to in Table
2 were deposited under the best-known deposi-
tion conditions available for specific coating ma-
terial and PVD process. Wherever possible, the
RCF performance levels in Table 2 are quoted in
terms of L10, L50, or average life for statistical
comparison. However, these results are generally
qualitative and should be used as the basis of
rating the RCF performance of various coatings
rather than to predict the statistical RCF life.

Table 2 also indicates that the RCF results are
sensitive to parameters such as coating thick-
ness, substrate hardness, and lubrication regime.
Even for the best possible combination of coat-
ing thickness, substrate hardness, and lubrication

(e.g., in TiN coatings of less than 1 lm coating
thickness), potential RCF improvements have
been shown to vary, depending on the surface
roughness of the contacting pair (Ref 51). Such
investigations indicate that for very smooth sur-
faces of rolling-contact bodies, the improve-
ments in RCF performance by the application of
PVD coatings can be marginal. However, rolling
bearings generally operate under harsh tribolog-
ical environments, and potential RCF improve-
ments by surface coatings are generally realized
in most industrial applications. Table 2 also in-
dicates the significant scatter in RCF perfor-
mance while comparing the results from various
accelerated RCF test methods. Even for a given
test method and coating, variations in stress lev-
els have shown significant variations in potential

Table 2 Published findings for RCF performance of PVD coatings

Coating process
Coating
material Substrate RCF tester

Contact stress,
GPa

Coating
thickness,

lm

Coating
roughness

Ra, lm
Coating
hardness

Substrate
hardness

RCF life,
�106 cycles Ref (year)

Ionic sputtering CrN
Mo
TiAlN
TiAlCN
TiCN
TiN � C

100Cr6 Ball on rod, full
scale bearing
tests
(lubricated)

Contact load of
755 N for ball
on rod

2.5
2.5
2.0
2.0
2.0
1.0

N/A 1300
650
2900
1800
2200
900

N/A �100 (average)
�100 (average)
�250 (average)
�250 (average)
�250 (average)
�1000 (average)

43 (1996)

Ion plating TiN Tool steel Ball on cylinder 3.5, 4.6, 5.1 2 r 5 0.03 � 0.01
0.15 � 0.01

50 r 60 HRC 2300 HV �1.3 (average) 50 (1998)

Reactive
sputtering

TiN M50 bearing
steel

Three-ball on
rod
(lubricated)

5.5 0.25, 0.5, 0.75,
1, 2, 3, 5

0.05 r 0.1 30 GPa 59–60 HRC �100 (for coating
thickness �1
lm)(a)

51 (1998)

Ion plating,
magnetron
sputtering

TiN
Ti(CN)
CrN

High speed steel Amsler wear
tester (dry)

50 N (load) 1.8–3.5
1.8–3.4
3.5

0.9 � 0.1 N/A N/A 1
1
5

52 (1998)

Reactive
magnetron
sputtering

TiN
ZrN
HfN
CrN
Mo
TiAlN
TiZrN
(TiAlV)N

440C stainless
steel (RCF
life of 6.3 and
1.7 � 106

cycles at 4.0
and 5.4 GPa)

Three-ball on
rod
(lubricated)

4.0 and 5.4 0.25, 0.5, 0.75,
1.00

N/A 55 r 59 HRC 59 HRC 36 and 8.7 (L10)(b)
36 and 5.5 (L10)(b)
81 and 9.7 (L10)(b)
21.6 and 2.0 (L10)(b)
39.9 and 5.0 (L10)(b)
2.6 and 1.6 (L10)(b)
21.5 and 10.8

(L10)(b)
47.9 and 10.3

(L10)(b)

53 (1993)

Reactive
sputtering

TiN AISI 4118 steel Two-disc
(lubricated)

2.3 0.25–0.5
1.0
2.5
5.0

N/A N/A N/A �60
10–37
1.0–4.1
�0.1

54 (1990)

Reactive
sputtering

TiN AISI 4118 steel Two-disc
(lubricated)
roll/slip �
0.25

2.3 1.0 0.45 2300 kgf/mm2 62–64 HRC �33 (average) 55 (1991)

Reactive
sputtering

TiN
TiAlN
CrN

Si3N4 and M50 Four-ball
(lubricated)

5.8 and 6.8 0.3–1.0 N/A N/A N/A �100 for 0.75 lm
TiN at 5.84
GPa(c)

56 (1994)

Magnetron
sputtering

TiN/NbN M50 Three-ball on
rod
(lubricated)

3.4
5.2

0.5 0.075–0.1 5200 kgf/mm2 561–63 HRC 191(d)
15(d) (L10 in hours)

57 (1998)

Ion beam DLHC M50
AISI 52100
AISI 4118
AISI 440C

Three-ball on
rod
(lubricated)

5.5 0.5 r 1 0.06 r 0.07 N/A N/A 76.4 (L50 life), 10(e)
232 (L50 life), 14(e)
327 (L50 life), 10(e)
22.7 (L50 life), 3.7(e)

58 (1993)

Ion beam DLC M50 Three ball on
rod
(lubricated)

5.5 0.5 r 1 N/A 11.3 r 14.7
GPa at 25 g
load

10.8 GPa at 25
g load

1 to 300(f) 59 (1992)

Ion beam DLC M50 Three ball on
rod
(lubricated)

4.8 0.33 N/A N/A N/A 91.5 at 23 �C (73 �F)
(L50)(g)

45.9 at 177 �C (73
�F) (L50)(g)

60 (1997)

Note: AISI, American Iron and Steel Institute; DLHC, diamond-like hydro-carbon. (a) Best performance at L50 of 25 � 106 and �100 � 106 with rough and smooth balls, respectively, for coating thickness �1 lm. (b) Best
L10 values quoted, which relate to coating thickness range of 0.5–0.75 lm at two stress levels of 4.0 and 5.4 GPa, respectively. (c) All coatings in hybrid ceramic combinations showed improvement in average RCF life, with
best average improvement by a factor of 2.5 for 0.75 lm TiN coating over uncoated case. (d) L10 values quoted in hours for superlattice period of 3–6 nm at respective stress level. Uncoated M50 substrate had L10 of 39 and
9 h at stress levels of 3.4 and 5.2 GPa, respectively. (e) L50 improvement factor over uncoated case. (f) L50 and L10 of 13 � 106 and 0.6 � 106, respectively, with no significant influence of coating thickness. (g) L10 of 36.7
� 106 and 38.4 � 106 at 23 and 177 �C (73 and 351 �F), respectively.
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RCF improvements. Nevertheless, the perfor-
mance indicators referred to in Table 2 have also
been shown to match that of full-scale bearing
tests (Ref 63). It is worth appreciating that this
dependency of RCF performance on various tri-
bological design parameters and RCF test meth-
ods is not unique to overlay coatings. Conven-
tional steel bearings often display such
dependency, with the exception that this inter-
dependency in the case of surface coatings is
much more complex due to additional influential
factors such as coating microstructure, thickness,
and interfacial bond strength.

The dependence of RCF performance on the
tribological design parameters, such as coating
thickness, substrate hardness, tribological con-
dition of contact stress, lubrication regime, and
surface topography, can actually be understood
by a generic understanding of underlying failure
modes. What dictates the influence of the pre-
viously mentioned design factors is their sensi-
tivity to initiate and propagate various RCF fail-
ure modes, the understanding of which cannot
only provide better life prediction models but
also improved RCF performance of coated roll-
ing bearings. As indicated earlier, the lack of
data on all coating materials has made it almost
impossible to ascertain their failure modes, al-
though their RCF performance is represented in
Table 2. The scope of the remaining section is
hence focused to ascertain the underlying failure
mechanisms of the two most widely used PVD
coating materials, that is, TiN and DLC coatings.
Before embarking on the discussion of the fail-
ure mechanism of these coating materials, it is
important to appreciate the generics of the tri-
bological design approach adapted to improve
RCF performance by the application of PVD
coatings.

Tribological Concept of Depositing Thin
Coatings to Improve RCF Performance.
Physical vapor deposition coatings, which are
strongly adhered to the substrate, are very thin
and seldom over a few microns in thickness.
These thin coatings generally follow the topog-
raphy of the substrate material, so that there is
no appreciable improvement in the surface
roughness of the coated substrate. So, how does
such a thin coating improve the RCF perfor-
mance? Figures 2 and 8 indicated various crack
initiation sites during a contact loading. Obvi-
ously, such a thin coating in contact with a
smooth counterbody marginally affects the depth
of orthogonal, maximum shear or von Mises
stress. Also, the influence of a thin coating on
the subsurface stress distribution is marginal for
low values of coating-to-substrate modulus ratio
(Ref 64, 65). Hence, these thin coatings do not
improve the resistance to subsurface fatigue
crack initiation and propagation. However, the
near-surface stress field and near-surface crack
initiation and propagation can be seriously af-
fected by the application of such hard coatings.
This is achieved by the interaction of the hard
coating layer on the counterbody, which initiates
its micropolishing either in two-body abrasion
(e.g., for TiN coatings) or in three-body abrasion

(e.g., for DLC coatings) to improve the overall
RCF performance of the contacting pair by min-
imizing the stress protrusions at individual as-
perity contact. In essence, these coatings tend to
delay near-surface crack initiation, which is
thought to constitute 90% of the total life to RCF
failure (Ref 60). In addition, improvement in
frictional properties of the contacting pair, for
example, by DLC and molybdenum coatings,
provides additional improvements in RCF per-
formance.

Rolling-Contact Fatigue Failure Modes of
PVD Coatings. Despite numerous studies to
comprehend the RCF performance of PVD coat-
ings (Table 2), only a few have attempted to out-
line a fundamental understanding of failure
mechanisms. Some studies (Ref 51, 53–55, 58–
60) only begin to understand the underpinning
failure mechanisms of PVD coatings, as dis-
cussed subsequently for TiN and DLC coatings.

Failure Modes of PVD-TiN Coatings. The
structure of TiN coating deposited by various
PVD processes is generally columnar with some
evidence of equiaxial grains near the interface
(Ref 50, 51). These coatings have shown good
bonding with various substrate steels, for ex-
ample, M50, 440C, and so on, and also, TiN
coatings on Si3N4 ceramics (Ref 56) have been
successfully applied. Apart from good bonding
of TiN coating either directly onto the substrate
or by functional grading, the most important sub-
strate property, which dictates the RCF perfor-
mance of coated rolling elements, is substrate
hardness. The choice of substrate material and
coating deposition conditions are therefore criti-
cal to allow the retention of substrate hardness
after deposition. Failure to retain substrate hard-
ness after deposition adversely affects the RCF
performance (Ref 50, 53). The underlying failure
mechanism caused by a reduction in substrate
hardness is principally due not only to a com-
promise in the ability of substrate to support the
coating, but also to microstructural changes as-
sociated with substrate softening that can result
in stress concentrations and create fatigue initi-
ation sites. Hence, tribological design of these
coatings must not only aim for a well-bonded
coating but also for the retention of substrate
hardness.

In addition to substrate bonding and its hard-
ness, the most critical parameter that has been
shown to significantly influence the RCF perfor-
mance of TiN coatings is coating thickness. TiN-
coated cutting tools are generally coated up to a
coating thickness of 3 lm. However, investiga-
tions have shown that such coating thickness can
adversely affect the RCF performance. In fact,
the optimal thickness for improved performance
is generally reported as approximately 0.5–0.75
lm (Ref 51, 53, 54, 56). So, why does any in-
crease in coating thickness beyond this level ad-
versely affect the RCF performance? The answer
to this question lies in the TiN coating micro-
structure, and there are two schools of thought
that explain this dramatic influence of coating
thickness: adhesive failure of thicker coatings
(Ref 50, 52, 54, 55) and cohesive failure (Ref
51).

Polonsky et al. (Ref 51) argued that even in a
good-quality PVD (TiN) coating with negligible
porosity, the columnar coating microstructure
becomes coarser away from the interface. Hence,
an increase in coating thickness causes compet-
itive growth during film deposition. (Although it
was assumed that the best available deposition
conditions were used to deposit the PVD coat-
ings listed in Table 2, it is worth appreciating
that these are not entirely defect-free coatings,
and further improvements in RCF performance
of PVD coatings can be realized by improved
coating microstructure.) The interfaces between
these columns thus represent the crack initiation
sites within the coating microstructure, the prob-
ability of which (i.e., defects at column bound-
aries) increases with the coating thickness.
Hence, the coating fails cohesively with the in-
crease in coating thickness—and the failed coat-
ing area is very rough due to shear within the
columnar coating microstructure—rather than
adhesively at the interface. Contrary to this,
some studies (Ref 50, 52, 54, 55) suggest that
the weakest section in the coated rolling element
is the coating-substrate interface, and hence, the
failure is adhesive. The substrate hardness can
further influence the failure mechanism in TiN
coatings, (Ref 50) as shown in Fig. 9—that is,
cracks propagate perpendicular to the coating
substrate interface for softer substrate coatings
(Fig. 9a), and parallel to the coating-substrate
interface for harder substrates (Fig. 9b, c). From
Fig. 9, it is striking to note that for the scanning
electron microscope representation of failed ar-
eas for harder substrates (Fig. 9b, c), which are
more closely related to the tribological condi-
tions reported in Ref 50, the failure is just above
the coating-substrate interface (i.e., similar to a
cohesive failure) rather than at the coating-sub-
strate interface. Hence, there seems to be consis-
tent experimental evidence pointing to cohesive,
rather than adhesive failure of thicker TiN coat-
ings. The theory of adhesive failure presented in
Ref 50, 52, 54, and 55 thus relies on weakness
of the coating-substrate interface to explain the
influence of increase in coating thickness on re-
duced RCF performance. Reference 50 also sug-
gests the theory put forward in Ref 66, which
relates the cyclic shear stress to crack initiation;
this seems unlikely, because the depth of maxi-
mum and orthogonal shear stress for the smooth,
lubricated contacts considered in the experimen-
tal study can be an order of magnitude deeper
than the coating thickness.

Another reason for the adhesive failure of
thicker coatings can be understood by comparing
the Young’s modulus of the coating to that of the
substrate material. It is postulated that as the dif-
ference in Young’s modulus increases, thicker
coatings resist to follow the elastically deformed
profile of the substrate (under the contact region
in response to cyclic loading), whereas thinner
coatings tend to follow a similar profile as the
elastically deformed substrate. This could lead
to premature failure in thicker TiN coatings.
More recently, however, work reported on TiAlN
coatings (Ref 44) has indicated that as the dif-
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ference in the modulus between the coating and
substrate material increases, even for smooth
contact surfaces, the coating-substrate interface
can be subjected to a high degree of shear stress
in thin (2–3 lm thick) PVD coatings. Similar
results were reported in Ref 64. Functional grad-
ing of the coating can thus be useful to improve
the RCF performance of thicker coatings.

Even if some of the reported failures (Ref
50, 52, 54, 55) were considered truly adhesive,
the test methodologies in these studies were
very much alike (i.e., two-disc machine or its
modification) and very different to the ball-on-
rod test method (Ref 51), which shows cohe-
sive failure. Hence, the model contact geome-
try can be responsible for the change in failure
mode, which is also known to influence the
failure mode in conventional ceramics and
steels (Ref 67). Also, there were considerable
differences in substrate shakedown behavior.
Some studies (Ref 51) indicated substrate
yielding in the first few cycles, due to high
contact stress that was above the yield strength
of the substrate M50 steel. This shakedown ef-
fect (Ref 37, 38) cannot only improve the RCF
performance by substrate work hardening and
improved coating-substrate conformity near
their interface, but also influence the RCF fail-
ure mode. Contrary to this, studies reported in
Ref 50, 52, 54, and 55 did not indicate any
such shakedown effects. Hence, the difference
between the two test conditions can also be
thought responsible for the reported differences
in cohesive and adhesive failures.

The tribological explanation of how thinner
(0.25–0.75 lm) PVD coatings avoid cohesive
and adhesive failure and thus improve the RCF
life lies in the microcontacts within the Hertzian
contact area. Thinner TiN coatings, which do not
fail during the RCF tests, do not show any
change in their surface roughness, apart from
surface glazing. The surface of the counterbody,
generally steel, however, undergoes micropol-
ishing during the RCF test. This micropolishing
reduces the stress protrusions at the asperity
level, which is generally thought to be respon-
sible for near-surface initiation of RCF failure.
Indeed, it has been confirmed that for very
smooth counterbodies—for example, grade 24
steel balls in their study (Ra � 0.01 lm)—the
contacting surfaces did not have any further
scope of micropolishing, and hence, no substan-
tial increase in RCF performance was obtained
(Ref 51). However, it is worth appreciating that
it is not only the surface roughness but also the
hardness difference of the contacting pair and
their friction properties, that also dictate the RCF
performance of coated rolling-element bearings.
Rolling bearings generally operate in harsh tri-
bological environments, and the scope of im-
provement in RCF performance by coating ap-
plication is always realized, for example for
self-mated TiN couples in pure rolling or rolling/
sliding contacts (Ref 52), and by Igartua et al.
(Ref 43) for hybrid ceramic bearings where the
counterbody is a ceramic of similar hardness to
a TiN coating.

The theory of interaction of surface asperities
to provide micropolishing and subsequent im-
provements in RCF life also provides some clues
as to why nitride coatings (Ref 53), thinner than
0.25 lm provide only marginal RCF improve-
ments. According to the aforementioned theories
of cohesive and adhesive failure in TiN coatings,
a thinner coating should theoretically provide a
better resistance to both failure mechanisms, that
is, thinner coatings have less probability of in-
tercolumnar coarsening and hence low probabil-
ity of cohesive failure. Also, thinner coatings
should adequately follow the deformed substrate
profile, so low stress concentrations at the inter-
face should resist adhesive failure. Marginal
RCF improvements for coatings thinner than

0.25 lm can, however, be explained in terms of
the influence of the substrate surface roughness.
Even for a smooth substrate, the peak-to-valley
height of the surface profile can be significantly
greater than the average (Ra) surface roughness.
A thinner coating may, therefore, only provide
partial protection to surface asperities, especially
in the valleys of the surface profile, for example,
due to shadowing effects. This can minimize the
rate of micropolishing of the counterbody, and
hence, the delay in crack initiation is not maxi-
mized, which is essential for optimizing the RCF
performance.

Failure Modes of PVD-Diamond-Like Hydro-
carbon (DLHC)/DLC Coatings. Superior tribo-
logical properties of DLC coatings (Ref 48) have

Fig. 9 Morphology of cracks leading to rolling-contact fatigue failure of PVD (TiN) coatings. (a) Crack parallel to the
interface leading to spalled area for hard substrate (60 HRC) TiN coating. (b) Cracks parallel to the coating-

substrate interface for hard substrate (60 HRC) TiN coating. (c) Cracks perpendicular to the coating-substrate interface for
soft substrate (50 HRC) TiN coating. Source: Ref 50
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shown considerable promise in improving the
RCF life of coated rolling elements. References
58 and 59 and, more recently Ref 60, reported
most of the work in this field. As with the TiN
coatings, these results relate to investigations in
mixed lubrication regimes. Except for the room-
temperature RCF studies reported in Ref 60 (Ta-
ble 2), where coatings were much thinner (�33
nm) than those considered in Ref 58 and 59 (0.5–
1 lm), both DLC and DLHC coatings have been
shown to provide considerable improvements in
the RCF life of coated rolling elements. The
physical mechanism underpinning such im-
provement is although different from that of TiN
coatings (mentioned previously); however, the
underlying analogy to micropolishing is the
same.

In the studies reported in Ref 58 and 59, two
tribological mechanisms are thought to be re-
sponsible for the improvement of RCF life. The
first mechanism is three-body abrasion, leading
to the micropolishing of the counterbody and
thus lowering stress protrusions within the con-
tact region at the asperity level. This three-body
abrasion is thought to be caused by the delami-
nated DLC or DLHC coating particles during
RCF testing, which, when mixed with test lubri-
cant, polish the softer surface within the contact
region. Wei et al. (Ref 58, 59) postulated that
this mechanism was due to the absence of dia-
mond film at the time of spall or at the end of
the terminated tests. This essentially refers to the
same mechanism of micropolishing as was re-
ported for TiN coatings, except for the fact that
the micropolishing is in three-body abrasion.
The second mechanism thought responsible for
improved RCF performance is the gradual
graphitization of the DLHC film during the RCF
test, leading to reduced friction at asperity level,
and hence a delay in the surface-initiated RCF.
This also explains the less dramatic influence of
the DLC/DLHC coating thickness in the range
0.5–1.0 lm, and further supports the theory that
coating detachment is responsible for RCF im-
provement, namely, three-body abrasion. Al-
though for much thinner coatings (�33 nm), in
which there was no RCF improvement seen at

Table 3 Published findings for RCF performance of CVD coatings

Coating
process Coating Substrate RCF tester

Contact stress,
GPa

Coating
thickness,

lm

Surface
roughness,

lm
Coating
hardness

Substrate
hardness,

HRC
Fatigue life,
�106 cycles Ref (year)

PACVD TiN (TiSi)N High-speed steel N/A Equivalent bond
stress of 800
MPa

3 r 4 0.6 2000 r 2500 HV 63–65 5 (suspended tests) 68 (1995)

PCVD TiN
TiCN

High-speed steel Spherical 0.8
1.7
(estimated)

2.7 0.04 N/A 63
45–63

�5
�50
�0.1 at higher stress

for both coatings

69 (1997)

PECVD TiN High speed steel Cylindrical
spherical

Critical stress of
0.2–0.7

N/A 0.04 N/A 65 50 (at lower stress
level)

70 (1998)

CVD CrC-TiC M50 bearing
steel

Ball on rod, disc 2.76 r 4.83 5.4 0.02 64 HRC 65 5–10 � 106 (L50

life)
71 (1985)

CVD SiC SiC-TiC
graphite

Three ball on
rod

5.5 192 0.08 N/A N/A �50 72 (1995)

CVD TiC 440C Full scale 40 N load 3 0.005 35,000 MPa N/A �900 � 106 at
1400 rpm

73 (1993)

Note: PACVD, plasma-assisted chemical vapor deposition; PCVD, plasma chemical vapor deposition; PECVD, plasma-enhanced chemical vapor deposition

room-temperature tests (Ref 60), it is worth ap-
preciating that there was no evidence of delam-
ination, which is thought to be essential for mi-
cropolishing of asperities and hence, RCF
improvement. Tests conducted at a higher tem-
perature (175 �C, or 350 �F) with these thinner
(�33 nm) coatings, however, showed some im-
provement to the RCF life. The exact mechanism
leading to this improvement is not clear at this
stage.

Rolling-Contact Fatigue of CVD Coatings.
By using smoother contact bodies to suppress
the mechanism of micropolishing within the
coating region (Ref 51), very thin coatings could
not provide significant improvement in RCF per-
formance. In such cases, coating needs to be rela-
tively thick (coating thickness �3 lm) and
should have very high cohesive strength to pro-
vide RCF improvements. Chemical vapor de-
position coatings, which have the versatility to
deposit much thicker layers, can thus provide
useful improvements in RCF life. Coatings in the
thickness range of 3–190 lm have therefore been
the focus of some RCF studies. However, the
establishment of tribological data that could lead
to generic design and understanding of failure
modes in CVD coatings is in its infancy. Rolling-
contact fatigue performance data of specific
coating types is, however, available, as listed in
Table 3 (Ref 68–73). Among these coatings, ti-
tanium-base nitride coatings have shown RCF
performance up to a maximum of 50 million
stress cycles. This does not match the extraor-
dinary performance indicated earlier for PVD
coatings; nevertheless, it is worth appreciating
that some of these investigations (Ref 68, 69)
were carried out to measure the bond strength
rather than the RCF performance of these coat-
ings, and tests were suspended after a specific
number of stress cycles. The best performance
for CVD coatings was reported in Ref 73 for TiC
coatings. They showed that for CVD-coated TiC
rolling-element balls, bearings can last in excess
of 900 million revolutions in full-scale testing,
and also that CVD coatings delayed the onset of
lubricant degradation by reducing the effect of
cold welding within the microcontact region.

The real advantage of CVD coatings is, how-
ever, in their ability to deposit layers that are an
order of magnitude thicker than PVD coatings.
Chao et al. (Ref 72) have recently reported that
not only the coating thickness but also the ben-
eficial compressive stress tailored in these
thicker CVD coatings can be used to combat
RCF failure. Although the best performance
achieved in their setup was in excess of 50 mil-
lion stress cycles for a 190 lm thick SiC coating
with 680 MPa (100 ksi) compressive residual
stress, these tests were suspended due to the fail-
ure of the steel balls rather than the coating. For
those coatings that failed, the failure was cohe-
sive, and the authors argued that the failure was
due to discontinuous growth of SiC film. Such
discontinuous growth may, however, be com-
bated by appropriate selection of deposition con-
ditions. In general, limited studies indicate that
CVD-coated bearings outperform conventional
bearing steels (Ref 72, 73), and future studies are
inevitable to comprehend the underpinning fail-
ure mechanisms of these coatings.

Rolling-Contact Fatigue
of TS Coatings

Thermal spraying is a molten- or semimolten-
state process in which coating material in the
form of a wire, rod, or powder is heated by com-
bustion, gas plasma, or electric arc and acceler-
ated toward the substrate to deposit a coating.
The most commonly used classification of TS
processes is based on the method of heat gen-
eration, and the most commonly used processes
considered for RCF investigations are high-
velocity oxyfuel (HVOF), detonation-gun (D-
gun), and plasma spraying (PS). Within each
category of these processes, there are sub-clas-
sifications, for example, HVOF can be liquid fu-
eled or gas fueled, and PS can be air plasma
sprayed (APS) or vacuum plasma sprayed
(VPS). For details of various TS processes, read-
ers are referred to Ref 49.

The coating materials available for TS pro-
cesses range from high-abrasion-resistant ceram-
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ics (e.g., Al2O3) and cermets (e.g., WC-Co) to
abradabale coatings (e.g., polymer-based coat-
ings for aeroengine applications). The coating
microstructure of TS coatings is lamellar, and
their industrial applications are found in aero-
space, biomedical, automotive, and manufactur-
ing industries. The advancements in TS technol-
ogy, for example, liquid-fuel HVOF systems and
VPS, made it possible to attain TS coatings with
negligible porosity and minimum powder deg-
radation, thereby improving the fracture tough-
ness of TS coatings. Despite recent innovations
in TS technology and its ever-expanding market
share, RCF investigations of these coatings are
in their infancy (Ref 74–83). The aim of this sec-
tion is to comprehend the RCF performance and
failure modes of TS coatings, with a view to de-
fining the tribological design considerations. The
rationale behind the RCF applications of TS
coatings lies in their competitive advantages,
which include:

● Very high deposition rates (typically 0.0025
kg/s, or 20 lb/h, for HVOF coatings)

● Ability to deposit thick coatings (up to a few
mm) to resist both surface- and subsurface-
initiated RCF

● Ability to produce coatings on large compo-
nents

● Ability to restore worn or undersized com-
ponents, making them environmentally
friendly

● Wide range of coating and substrate materials
● Low deposition cost

Rolling-Contact Fatigue Performance of TS
Coatings. Table 4 summarizes the RCF perfor-
mance results for various TS coatings (Ref 74–
83). As with the RCF performance of vapor de-
position coating processes (Tables 2 and 3),

Table 4 Published findings for RCF performance of thermally sprayed coatings

Coating
process

Coating
material

Substrate
material RCF tester

Contact stress,
MPa

Coating
thickness,

lm

Coating
roughness
(Ra), lm

Average
coating

hardness
Substrate
hardness

RCF life,
�106 cycles Ref (year)

APS, HVOF WC-12%Co
WC-17%Co
WC-10%Co-4%Cr

DIN 17200 steel Two-disc (dry) 420–600 100 0.12–0.51 758–1208 HV 32–37 HRC �10(a) 74 (1997)

HVOF WC-Cr-Ni JIS G4105 steel Two-disc
(lubricated)

2400–3000 20–90 0.2 940 790 HV �20 (average)(b) 75 (1995)

D-gun WC-15%Co
Al2O3

M50 steel Four-ball
(lubricated)

3000–3400 70 0.04 1200
1050

658 HV 0.16–0.6
�0.1

76 (1997)

D-gun WC-15%Co M50 steel Four-ball
(lubricated)

3400
5200

50 0.02 1200 600 HV 2.9
0.4

77 (1996)

APS Ni-B-Si-Cr-Fe-C Steel Two-disc
(lubricated)

822, 845, 960,
1086

200
450

0.24 N/A 60 HRC �5.5
�3

78 (2000)

HVOF WC-Cr-Ni S45C steel Two-disc
(lubricated)

1400 40–90 0.1 920 308–670 HV �20(c) 79 (2000)

HVOF, D-gun WC-12%Co Steel Three-disc
Two-disc

410 100 0.35 1050, 1150 710 HV . . . 80 (1994)

HVOF WC-12%Co Mild steel Four-ball
(lubricated)

1700–1900 20
50
150

0.05 1318 218 HV �70(d)
2–20
15–30

81 (1997)

HVOF WC-12%Co 440C steel Four-ball
(lubricated)

2700–3100 50
150
250

0.06 1296 850 �1.5
�70(d)
�70(d)

82 (2001)

APS Al2O3-TiO2

Cr2O3-SiO2-TiO2

Mo

A2017
aluminium
alloy

Two-disc
(lubricated)

1500 300–350 N/A 805, 1089, 491 N/A �10(e) 83 (1990)

(a) Best performance for HVOF WC-Co coating. (b) For coatings thicker than 40 lm. (c) For positive (�12%) and zero slip ratio. (d) Test suspended after 70 � 106 stress cycles without failure. (e) Best performance for
molybdenum coatings

these results are qualitative and should be con-
sidered to rank the RCF performance rather than
for statistical fatigue-life prediction. These re-
sults indicate that the most commonly used TS
coating material for RCF investigations is WC-
Co cermet and Al2O3 ceramic. Among these
coating materials, the RCF performance of cer-
mets is superior to that of ceramics. The RCF
performance of these coatings is, however, not
as high as that associated with PVD (Table 2)
coatings at stress levels greater than 3 GPa (0.4
� 106 psi) in point-contact loading. At moder-
ate-to-low stress levels (up to 3 GPa, or 0.4 �
106 psi), these coatings, however, exhibit a RCF
life in excess of 70 million stress cycles without
failure. The scatter in RCF performance data
shown in Table 4 is due to the influence of var-
iations in tribological conditions as well as de-
sign parameters such as coating thickness, sub-
strate hardness, and complexities in the coating
microstructure. These design parameters signifi-
cantly influence the RCF failure modes, as dis-
cussed subsequently.

Rolling-Contact Fatigue Failure Modes in
TS Cermet (WC-Co) and Ceramic (Al2O3)
Coatings. Investigations relating to the RCF
failure modes of TS coatings are reported in Ref
7, 74, 79, 84, and 85. These investigations have
classified the fatigue failure modes on the basis
of surface and subsurface observations in pre-
and post-RCF conditions. Rolling-contact fa-
tigue failure of TS coatings are generally cate-
gorized in four main modes and named as
abrasion, delamination, bulk failure, and spalling
(M1–M4), as indicated in Fig. 10. A summary
of the underpinning failure mechanisms leading
to these failure modes is given subsequently, de-
tails of which can be seen in the aforementioned
references.

Abrasive Failure of Coated Rolling Elements.
The combined effect of micropitting and surface
wear on the wear track of components in rolling
contact is collectively termed as abrasive failure
in TS coatings. This failure mode is seen with
both ceramic (Al2O3) and cermet (WC-Co) coat-
ings and with all TS coating techniques. A typ-
ical example of this failure is shown in Fig. 11.
Noncontacting three-dimensional interferometry
of failed wear track indicates that the micropits
leading to abrasive failure are, on average, 50
lm wide and a maximum of 5 lm deep. Abra-
sive failure mode in TS coatings is thus not sig-
nificantly different to those associated with roll-
ing contact wear rolling contact wear (RCW) in
conventional steel bearings; for example, Blau
(Ref 13) has considered RCW as nucleation sites
for initiating RCF. Similar failure was character-
ized as “peeling” during a study of fatigue failure
modes of conventional steel ball bearings (Ref
16), whereas in Ref 5, this type of failure was
characterized as surface distress. In spite of the
various terminologies used to distinguish similar
failure in steel bearings, the underpinning failure
mechanism is associated with asperity contact in
the presence of microslip within the contact re-
gion. Gross sliding, though not necessary for this
type of failure, is thought to promote micropit-
ting.

Mechanism of Coating Abrasion in Rolling/
Sliding Contacts. In the case of TS coatings, a
similar mechanism of asperity contact in the
presence of microslip and sliding is responsible
for the micropitting and surface wear. During
partial elastohydrodynamic lubrication (EHL)
conditions, that is, when lubrication regime is in
the mixed region (1 � k � 3, where k is non-
dimensional film thickness), surface asperities
come into contact. Under these conditions, it was
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shown that the asperity contact and the EHL film
share the load (Ref 86). According to Ref 87,
these asperity contacts produce high stress con-
centrations very close to the surface but do not
change the subsurface Hertzian stress pattern.
These stress concentrations due to the interaction
of asperities in the presence of microslip within
the contact region result in shear stress beneath
the asperity. Hard coatings such as WC-Co and
Al2O3 respond to this stress concentration by mi-
crocracking and eventual micropitting, which
also results in the attenuation of near-surface
compressive residual stress within the coating
material (Ref 88).

Apart from the mechanism of asperity inter-
actions and subsequent microcracking leading to
abrasive failure in TS coatings, the criterion of
maximum tensile stress at the edge of the contact
area for brittle materials is also thought to be
responsible for the abrasive wear of TS cermet
and ceramic coatings. The tensile stress is very
sharply localized and decays very rapidly at
small depths below the surface. For elliptical
contacts, this tensile stress (Tmax) for a given
value of peak compressive stress (Po) can be
evaluated from the following relation, repro-
duced here for clarity (Ref 32, 33).

T

P n

n

n
nmax .

. ln
o

= × +
−

−0 33
0 5

1
13

β 













(Eq 8)

where b is the ratio of minor to major axes of
contact ellipse, and n � (1 � b2)0.5. For most
of the RCF test conditions listed in Table 4, for
example, in a rolling four-ball machine, Tmax can
be approximated as 324 MPa (47 ksi), for ex-
ample, at a compressive contact stress of 2.7 GPa

Failure modes of thermal spray coatings

Failure mode Failure mechanism Failure type

• Asperity contact
• Microfracture and two-body abrasion
• Wear acceleration due to three-body abrasion
• Small wear debris (few microns in dimension)

• Stress concentrations due to coating defects
• Initiation of subsurface cracks
• Crack propagation at the depths of shear stress
• Sheetlike thin debris (few millimeters in dimension)

• Yielding of substrate material
• Migration of substrate to the edge of wear track
• Intergranular cracking of coating within wear track
• No debris generated

• Surface or subsurface crack initiation
• Crack propagation due to cyclic loading
• Wear debris generated (>millimeter in dimension)

Surface wear (M1a)

Micropitting (M1b)

Delamination at coating
Substrate interface (M2a)

Delamination within the coating
Microstructure (M2b)

Cracks within wear track (M3a)
Deformation of substrate (M3b)

Macropitting/spalling (M4)

Abrasion
(Fig. 11)

Delamination
(Fig. 12–15)

Bulk failure
(Fig. 16, 17)

Spalling
(Fig. 18)

Fig. 10 Rolling-contact fatigue failure modes of thermal spray cermet and ceramic coatings. Source: Ref 84

Fig. 11 Abrasive failure of the rolling wear track in
thermally sprayed WC-Co coating

Fig. 12 Adhesive delamination in thermally sprayed
Al2O3 coating

(0.39 � 106 psi). The fracture stress of WC-Co
coatings (using the tensile test technique) has
been shown to be in the range of 380–690 MPa
(55–100 ksi) for high-velocity plasma sprayed
and D-gun coatings (Ref 89). These values of
fracture stress are similar to the tensile stresses
associated with the Hertzian stress distribution
at the edge of the contact region. This indicates
that even under a fully developed EHL (k � 3)
regime, the microcracks in the coating material,
either due to coating defects or asperity contact,
can propagate due to tensile stress at the edge of
the contact area. Hence, coating fracture tough-
ness, which is related to coating microstructure
via various TS processes and process conditions,
is critical in controlling abrasive failure; for ex-
ample, Ahmed and Hadfield (Ref 84) have re-
lated the poor fracture toughness of APS coat-
ings in comparison to the liquid-fuel HVOF
system, with the higher rate of abrasive wear in
APS coatings.

Delamination Failure in TS Coatings. Suh ini-
tially proposed a delamination theory of sliding
wear in 1973 (Ref 2). Flemming and Suh (Ref
90), Suh and Saka (Ref 91), and Suh (Ref 92)
have since performed experimental and theoreti-
cal analysis supporting the delamination theory.
The mechanism of delamination wear includes
the propagation of cracks parallel to the surface
at a depth governed by material properties and
the friction coefficient. Although rolling friction
prevails in RCF tests and the delamination the-
ory of wear is based on sliding friction, never-
theless the similarities of the failure mechanism
in both cases are compelling. Typical observa-
tion of coating delamination at the coating-sub-
strate interface can be seen from Fig. 12 for

Al2O3 coating, whereas the delamination failure
within the coating material can be appreciated
from Fig. 13 for WC-Co coating. Coatings of
Al2O3, however, have not shown delamination
within the coating material but only at the coat-
ing-substrate interface (Table 4). Sheetlike de-
bris that reached a few millimeters in major di-
mension is produced during this process.

Mechanism of Coating Delamination in Cer-
met and Ceramic Coatings. The damage theory
of materials begins with the premise that mate-
rial contains a multitude of defects in the form
of microvoids (Ref 93) that undergo extension
due to loading and unloading. A similar ap-
proach is adapted to explain the mechanism of
coating delamination. A TS coating microstruc-
ture contains varying levels of micropores, mi-
crocracks, and secondary-phase particles, which
act as stress concentration during cyclic loading.
The extent of these microdefects varies for dif-
ferent coating techniques and also depends on
the starting powder, coating process, and its pa-
rameters. Such is the complexity of microstruc-
ture that stress concentrations are inevitable dur-
ing cyclic loading. During rolling contact, these
microdefects have a higher tendency for crack
propagation at the depths of maximum shear
stress (smax) and orthogonal shear stress reversal



Name /bam_asmint_104738/6072_006e1/Mp_12        07/12/2002 03:37PM     Plate # 0 pg 12   # 

12 / Wear Failures

Fig. 14 Subsurface crack observations during delami-
nation failure of thermal spray coatings. (a)

Subsurface cracks in WC-Co-coated rolling cone at the
depths of maximum and orthogonal shear stress. (b) Prop-
agated subsurface cracks leading to coating delamination
during RCF failure of WC-Co coating

Fig. 13 Cohesive delamination in thermally sprayed
WC-Co coating (backscattered electron image)

I

II

III

IV

I

II

III

IV

a Po

Driven rolling
element

WC-Co coating thickness >
depth of max shear stress

Al2O3 or WC-Co coating thickness ≤
depth of max shear stress

Driven rolling
element

Orthogonal shear  stress = τorth = 0.21 × Po 

Maximum shear stress = τmax = 0.35 × Po 

Substrate

Coating

a = contact width; Po = peak compressive stress

Microstructural cracks (initiation)

Interfacial cracks (initiation)

Crack propagation

Joining of cracks

Delamination (adhesive or cohesive)

Depth of orthogonal shear  stress = 0.35 × a

Depth of maximum shear  stress = 0.5 × a

Fig. 15 Schematic of coating delamination process for cermet and ceramic coatings

(sorth) (Fig. 8). The location of these stresses in
the vicinity of the coating-substrate interface can
thus significantly influence crack propagation
due to the mismatch of coating and substrate
properties and a high level of quenching stress
at this interface (Ref 94). Circumferencial cracks
similar to those shown in Fig. 14 appear beneath
the surface at the depths of maximum shear and
orthogonal shear stress for WC-Co coatings,
whereas in the case of Al2O3 coatings, cracks
generally appear at the coating-substrate inter-
face. Hence, cohesive and adhesive delamination
is observed in cermets whereas adhesive delam-

ination is the preferred failure mode in ceramic
coatings.

Figure 15 gives a schematic of crack propa-
gation behavior in ceramic and cermet coatings.
The process can be summarized as follows:

● Crack initiation: For cermet (WC-Co) coat-
ings, cracks initiate subsurface at different
depths under the contact region but propagate
at the depths of maximum shear stress and
orthogonal shear stress (Fig. 14a). These
cracks initiate due to stress concentrations in
the presence of microstructural defects. For
WC-Co coatings thinner than the depth of
maximum shear stress, an additional factor of
stress concentrations is the mismatch of coat-
ing-substrate properties at the interface. For
WC-Co coatings thicker than the depth of
maximum shear stress, these cracks initiate
within the coating microstructure; for coat-
ings thinner than the depth of maximum shear
stress, these cracks initiate within the coating
microstructure as well as at the coating-sub-

strate interface. For ceramic (Al2O3) coatings,
cracks generally initiate at the coating-sub-
strate interface.

● Crack propagation: For WC-Co coatings
thicker than the depth of maximum shear
stress, initiated cracks propagate slowly in re-
sponse to cyclic loading at their respective
depths within the coating microstructure (Fig.
14b). For WC-Co or ceramic (Al2O3) coat-
ings thinner than the depth of maximum shear
stress, the cracks at the coating-substrate in-
terface propagate much faster than the cracks
at the depth of orthogonal shear stress (i.e.,
cracks within the coating microstructure) and
result in poor RCF performance of thinner
coatings.

● Crack extension: For WC-Co coatings thicker
than the depth of maximum shear stress, the
cracks at maximum shear stress extend to
greater lengths and ultimately join the cracks
at the depth of orthogonal shear stress (Fig.
14b). For coatings thinner than the depth of
maximum shear stress or for ceramic (Al2O3)
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Fig. 16 Bulk deformation failure of WC-Co coating, in-
dicating cracks in the middle of the wear track

and substrate migration at the edge of the wear track

Po

Rolling 
direction

Width of
wear track

Coating

Coating

Crack in middle of
wear track—step III

Yielding of substrate—step I

Migration of 
substrate—step IV

Tensile stress within coating—step II

Substrate

Substrate

Fig. 17 Mechanism of bulk deformation Fig. 18 Spalling of thermally sprayed WC-Co coating

coatings, the cracks at interface had the
greater tendency of reaching the surface in-
dependently, and, in some cases, they com-
bine with the cracks at the depth of orthogo-
nal shear stress and eventually reach the
surface.

● Delamination: For WC-Co coatings thicker
than the depth of maximum shear stress, the
cracks from the depth of orthogonal shear
stress reach the surface much more quickly
than the cracks at the depth of orthogonal
shear stress, thereby leading to coating de-
lamination at the depth of orthogonal shear
stress. Contrary to this, for thinner WC-Co or
ceramic (Al2O3) coatings, interfacial delami-
nation takes place.

Coating Failure Due to Bulk Deformation.
Bulk deformation of substrate material is of pri-
mary importance for the cases of hard coatings
(WC-Co and Al2O3) on a soft substrate. This is
because the contact stress can be in the elastic
range of the coating material and in the plastic
range of the substrate. The primary effect of this
is the plastic flow of substrate, leading to con-

formity of the contact region and a hump at the
edge of the wear track. Figure 16 shows a typical
example of such a failure in which the substrate
could no longer support the coating, leading to
bending and cracking of coating material in the
initial stages of RCF failure. As cyclic loading
continues, the coating cracks in the middle of the
wear track due to its inability to plastically de-
form under the tensile stress caused by the plas-
tic flow of substrate material. During this failure,
the plastic flow of the substrate continues, and
the substrate is pushed up at the edges of the
wear track as it conforms to the geometry of the
counterbody, leading to subsequent cracking at
the edge of the wear track. Further cyclic loading
leads to crack propagation in tension, and the
substrate finally emerges at the edge of wear
track. Because the crack propagation is progres-
sive due to cyclic loading, this failure mode is
categorized as a RCF failure mode. Once the
conformity of contact is such that the stresses in
the substrate are no longer in the plastic region,
the substrate migration terminates, and a steady
state is reached. Figure 17 shows a schematic of
this failure mode and indicates that substrate
hardness should be carefully selected (based on
contact loading) to combat this failure. The
mechanism of bulk deformation is thus strongly
dependent on the ability of the substrate material
to support the coating in relation to the contact
stress and is marginally affected by the changes
in either coating material or process.

Coating Failure Due to Spalling. Spalling is
the most commonly seen RCF failure in steel
rolling-element bearings. Spalling fatigue is,
however, the most rare mode of fatigue failure
in TS coatings. Spall in TS coatings resembles
in appearance the spalls in conventional bear-
ings, as shown in Fig. 18. It differs from delam-
ination failure (discussed previously) in the
sense that spall is contained within the wear
track and is circular or elliptical in appearance,
with its surface area (or width-to-depth ratio)
much smaller than that of delaminated coating.
A comparison of Fig. 1,12 and 18 can distinguish

the appearance between the two failures. As with
conventional steel bearings, spalls in TS coatings
can initiate from micropits, furrows, grinding
marks, or dents on the surface of a wear track.
Also, subsurface inclusions and defects are
known to lead to spalling of rolling elements.
Examination of the wear track of a spalled spec-
imen in TS coatings indicates that substantial
micropitting of the wear track occurs before fa-
tigue spall is produced. This highlights the pos-
sibility that the fatigue spall in TS coatings ini-
tiates from the micropits, and subsequent crack
propagation takes place due to cyclic loading. It
is also possible that once initiated, spalling can
be assisted by hydraulic pressure crack propa-
gation (Ref 4). However, the exact mechanism
of fatigue spall, that is, surface or subsurface ini-
tiation and propagation, in TS coatings is not
completely understood at this stage.

Design Considerations for RCF Applica-
tions of TS Coatings. The design of surface
overlay coatings for tribological applications in-
volving Hertzian contact loading not only re-
quires a thorough understanding of the tribolog-
ical conditions, for example, contact stress,
lubrication, and friction, but also the influence
of coating processes, material, thickness, and the
role of substrate material properties. Tribologists
often have little choice about the former but can
influence the coating performance by appropri-
ate selection of the latter. The following thus pro-
vides some insight into the design considerations
of coating-substrate material properties, coating
thickness, and coating processes to combat RCF
failure in TS coatings.

Substrate Material. The mechanism of bulk
and interfacial delamination failure mode (dis-
cussed above) indicated that the four most im-
portant design considerations while selecting the
substrate material are:

● Ability to support the coating
● Higher coefficient of thermal expansion than

the coating material, to induce a certain de-
gree of compressive residual stress within the
coating material

● Ability to withstand preheat temperature prior
to thermal spraying

● Ability to plastically deform during shot
peening prior to the coating process, to pro-
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mote mechanical interlock at the coating-sub-
strate interface

The ratio (d � Po/r, where d is normalized
pressure) of the Hertzian contact stress (Po) to
the substrate yield strength (r) is thus a useful
indicator in determining the ability of the sub-
strate to support the coating. Figure 19 shows
this effect and indicates that normalized contact
stress (Po/r) can be used to benchmark candidate
substrate materials.

Coating Thickness. Investigations of the de-
lamination failure mode (both cohesive and ad-
hesive) indicated that while selecting the coating
thickness for a given coating-substrate system, it
is critical to shift the maximum and orthogonal
shear stresses away from the coating substrate
interface. Using this technique can also simplify
the coating design by not having to functionally
grade the material to avoid the sharp stress gra-
dient at the interface during the Hertzian loading.
Hence, the ratio (D � n/W, where D is the nor-
malized coating thickness, n is the average coat-
ing thickness, and W is the depth of maximum
shear stress) of the coating thickness to the depth
of shear stress (W � 0.65b, where b is the length
of the minor axis of the contact ellipse) is found
to be a good indicator of the coating substrate
system to combat adhesive delamination. Figure
20 shows this effect and indicates that D value
can have a significant influence on the fatigue
performance of coatings.

Coating Material. Investigation of failure
modes in TS coatings indicated that the selection
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of a hard, wear-resistant coating material re-
quires a consideration of its coefficient of ther-
mal expansion and the ability of the coating pro-
cess to produce a dense coating microstructure.
Within the boundaries of materials considered in
published research (WC-Co and Al2O3), test re-
sults indicate that the cermet coatings perfor-
mance was superior to that of the ceramic coat-
ings. This was mainly because of the following
three reasons:

● The lower melting point of cermet material
the allowed the melting of lamellas during the
HVOF processes, whereas ceramic was par-
tially melted, resulting in a lower cohesive
and adhesive strength.

● Although higher temperatures during the APS
process melted the ceramic particles, the ve-
locities achieved are generally much lower
than the HVOF system, resulting in porous
microstructure and thus lower strength.

● A higher lamella temperature during the APS
process would have a high rate of cooling
(quenching) on impact with the underlying
surface, which can lead to internal cracking.

These factors contributed toward lower ad-
hesive and cohesive strength of ceramic coatings
and indicate the need for an interfacial layer.
With the advancements of high-velocity plasma
systems, however, it may be possible to improve
RCF of TS ceramics in the future.

Coating Process(es). The most important con-
sideration while selecting the coating process for
RCF applications is its ability to produce a dense
coating microstructure, resulting in a higher me-
chanical strength. There are a number of ways
to analyze this, for example, porosity measure-
ments, x-ray diffraction pattern, microhardness
and bond strength. Experimental research has in-
dicated that a useful measure for RCF applica-
tions is to compare the indentation fracture
toughness (KIc) of the coating material. So
far, HVOF-deposited WC-Co coatings with KIc

� 1.7 MPa m have shown a fatigue life
in excess of 70 million stress cycles for coating
design parameters of D � 1.5 and d � 1.5 (e.g.,
Ref 84).
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